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Abstract

Water and glycerine were used to produce solutions with nominal liquid viscosities of 1, 100, 250 and 550 mPa s. These liquids

flowed concurrently with air into a conical nozzle. Measurements of discharge momentum fluxes, inlet void fractions and pressure

drops were made for subsonic and sonic discharges. Liquids with nominal liquid viscosities of 1 and 450 mPa s were used to do

similar tests on a sharp edged orifice plate. The orifice had the same discharge diameter as the nozzle. The flow pattern developed in

the long supply pipe was annular up flow. The nozzle data are shown to be consistent with the annular flow model provided the wall

and interfacial shear stresses are included. The orifice plate is shown to behave in a similar manner to the nozzle, despite the very

different flow path.

� 2003 Elsevier Inc. All rights reserved.
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1. Introduction

If a runaway reaction occurs during the manufacture
of some products, such as styrene, some of the fluid

needs to be blown down to protect the reactor from

excessive pressure. Blowdown events are usually initi-

ated by a safety relief valve opening or a bursting disc

operating.

A safety relief valve is shown in Fig. 1. The inlet to

the valve is a conical nozzle, with a parallel pipe up-

stream and downstream. These valves have a pop action
so that when the set pressure is reached, the disc fully

retracts to leave a nozzle as the flow element. When a

compressible fluid passes through this nozzle, choking

can occur at the throat. Many installations are designed

for choked flow conditions. Standards, like API 520

(American Petroleum Institute, 1990), give details of

how to calculate the nozzle area. These are based on the

isentropic flow of an ideal gas through a nozzle. A
bursting, or rupture, disc is shown in Fig. 2. These discs

are placed in a holder and sandwiched between two
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flanges in the vent pipe. When the set pressure is

reached, the disc comes away as shown, to leave an

orifice plate as the flow element. The standards again
size the flow area by using the choked isentropic nozzle

flow equations. However, a discharge coefficient is

introduced to compensate for the flow path deviating

from the nozzle geometry.

In the circumstances envisaged for this study, a highly

viscous two-phase flow will enter the safety relief valve

or bursting disc. Current design knowledge is restricted

in this application, causing some uncertainty in how
blowdown systems will perform under these circum-

stances. This study was undertaken to improve the basis

on which these designs are made.

Highly viscous single-phase flow of Newtonian and

non-Newtonian fluids in orifice plates and nozzles have

been shown to behave quite differently from their low

viscosity counterparts (Alvi et al., 1978, McNeil et al.,

1999, 2000). However, two-phase flows have received
little attention. Some studies have been carried out in

pipe flows (Furukawa and Fukano, 2001, Fukano and

Furukawa, 1998, Mori and Nakano, 2001, Kondo et al.,

1999). These studies used fluids with viscosities of up to

70 mPa s to investigate the effects of liquid viscosity on

flow pattern, interfacial shear stress, frictional pressure
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Nomenclature

Capital letters

B coefficient used in Eq. (A.1)

C coefficient defined in Eq. (14)

D diameter

E coefficient used in Eq. (A.13)

F force

FF Froude number function

Fr Froude number
G constant used in Eq. (8)

H constant used in Eq. (8)

L length of contraction

R gas constant

Re Reynolds number

T temperature

We Weber number

Small letters

c specific heat

g gravitational constant

m mass flux (total mass flow rate per unit flow

area)

n index used in Eq. (A.1)

p pressure
u velocity

w work done on the liquid by the core

x gas mass fraction (quality)

z distance from upstream pressure tap

Greeks

e entrained liquid fraction

d film thickness

l viscosity
m specific volume

r surface tension

s shear stress

Subscripts

c core flow
C characteristic value

d downstream

G gas-phase

Gs gas superficial

i interfacial

L liquid-phase

s single-phase

LF liquid film
m momentum

u upstream

v at constant volume

w wall

W water

Fig. 1. Safety relief valve.

Fig. 2. Bursting disc.
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drop, interfacial waves and the inception of roll waves

and droplets. All of these studies have shown that
increasing the liquid viscosity had a significant effect on

the phenomena studied. McNeil and Stuart (2003) used

liquids with a viscosity range of 1–550 mPa s with air in

a pipe flow. The study showed that the higher viscosity

fluids behaved differently to those with viscosities of up
to the 70 mPa s. Entrained liquid fractions existed where
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inception criteria suggested they would not and the

interfacial friction factor behaved considerably differ-

ently. Nozzle and orifice plate flows are usually down-

stream of a pipe length. The flow conditions at the pipe
exit are therefore the inlet conditions to the nozzle or

orifice plate. Studies of the effect of the altered inlet fluid

distribution, resulting from elevated liquid viscosity, on

the nozzle or orifice plate flow characteristics have not

been previously reported.

Studies of convergent flows at elevated levels of vis-

cosity have been undertaken, although both were carried

out with downward flows. Wood and Dickson (1973)
used viscosities of 37–112 mPa s in orifice plate flows.

They concluded that viscosity did not have a significant

effect on the flow processes and attributed this to fluid

friction being relatively unimportant to these flows. To

some extent Morris (1990) disagreed with this conclu-

sion, as he was unable to include some of this data in his

discharge coefficient correlation. The excluded orifice

plate data had orifice to pipe diameter ratios of less than
0.418. Data taken for diameter ratios above this were

included. The excluded data deviated significantly above

those obtained with low viscosity fluids. Campanile and

Azzopardi (2001) tested an atomising nozzle with vis-

cosities ranging from 5000 to 50,000 mPa s. This study

was mainly about liquid atomisation at the nozzle dis-

charge, but included flow pattern observations, and void

fraction and pressure drop measurements. These con-
vergent flows were significantly affected by increasing

the liquid-phase viscosity.

Most of these studies have shown that two-phase

flows with a viscous liquid-phase behave substantially

differently to the low viscosity equivalents. This study

was initiated to investigate the differences in a vertically

upward flow in a nozzle and orifice plate, and to identify

a prediction method that will aid the design of venting
systems for these fluids.
2. Experimental

The characteristics of flows through orifice plates or

nozzles depend on the inlet flow conditions and the

interaction between the geometry and the fluid. Exper-
iments were undertaken using five different fluids in a

purpose built test facility. Measurements of inlet void

fraction, outlet momentum flux and pressure drop were

made to investigate the effect of liquid viscosity on them.

2.1. Test fluids

The characteristics of the fluids were obtained prior
to their use in the experimental programme. For tests

involving water, the viscosity was taken as 1 mPa s and

the density as 1000 kg/m3. Four viscous fluids were

obtained by combining glycerine with water at various
concentrations. The viscosities of these solutions were

obtained by analysing samples in a Carri–Med visco-

meter controlled by a PC. The measurements indicated

that the shear stress was proportional to the strain rate
and that the constant of proportionality was strongly

depended on temperature, i.e., the fluids were Newto-

nian. The viscosity of each fluid was characterised by

correlating this constant with a cubic polynomial in

temperature. The densities of the test liquids were estab-

lished by measuring the weight of a known volume. The

glycerine–water solutions had nominal viscosities of 550,

450, 250 and 100 mPa s. The corresponding densities
were 1260, 1258, 1235 and 1190 kg/m3. The viscosity

ranges present within the data for each test liquid were

430–700, 400–480, 200–260 and 70–120 mPa s. The

viscosity of glycerine varies significantly with water

concentration, particularly at low levels. Viscosity mea-

surements were repeated frequently throughout the test

programme.

2.2. Test facility

A schematic of the test facility is shown in Fig. 3. The

facility could be operated using single-phase liquid,

single-phase air or two-phase air–liquid flows. The

facility had three flow loops that the liquid could pass

around, the re-circulating loop, the flow meter calibra-

tion loop and the test loop. Only one loop existed for
air.

The re-circulation loop had liquid from the supply

tanks pass through the heat exchanger, the pump, con-

trol valve A and back to the supply tanks. This flow

loop was always used when liquid was flowing. This was

necessary to balance the liquid flow through the cali-

bration or test loops with that through the progressive

cavity pump. The heat exchanger was cooled using tap
water and was used to control the liquid temperature by

removing the internal heating resulting from pipe fric-

tion.

The calibration and test loops both used the bank of

four parallel flow nozzles shown in Fig. 3. Only one of

these loops was in operation at any one time. The cali-

bration loop was used to calibrate the flow measurement

nozzles prior to their use in the test loop.
The flow calibration loop took liquid from the supply

tanks and passed it through the heat exchanger, the

pump, a flow nozzle and control valve B, before storing

it in the calibrated tanks. A thermocouple placed

downstream of valve B allowed the liquid temperature

to be measured, and thus allowed the liquid viscosity to

be estimated. A Rosemount 3051 differential pressure

transmitter was used to measure the flow nozzle pressure
drop. The volume flow rate through the flow nozzle was

established from a timed collection in the calibrated

tanks. After the timed collection had been made, liquid

was returned to the supply tanks by opening valve D.
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Fig. 3. Test facility layout.
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For viscous liquids, the discharge coefficient depends on

the throat Reynolds number (Alvi et al., 1978). The

discharge coefficient was linked to the throat Reynolds

number through a cubic equation.

The test loop took liquid from the supply tanks and

passed it through the heat exchanger, the pump and a

flow nozzle, and delivered it to control valve C (Fig. 3).

A thermocouple was placed downstream of valve C to
allow the test temperature to be measured. This allowed

the liquid viscosity to be estimated. From valve C, the

liquid moved through the air–liquid mixer, the settling

length and the c-ray densitometer, before being deliv-

ered to the discharge component. The c-ray densitom-

eter was located 0.905 m upstream of the discharge

component and was used to determine the void fraction

during the two-phase tests. The void fraction measured
was the average for the flow area. The discharge com-

ponent was either the nozzle or the orifice plate shown in

Fig. 4. Liquid from the discharge component discharged

into a glass observation chamber that was vented to the

atmosphere. The discharging liquid impinged on a flat

plate target set at 90� to the flow. The target was 100

mm in diameter and was placed 90 mm above the liquid

discharge point. During the two-phase tests, the force on
the target was measured using two load cells mounted in

parallel. This allowed the momentum flow rate of the

discharging mixture to be determined. Liquid flowed

from the target into the air–liquid separator, where it

drained into the separator liquid level control tank and

onto a series of four plates angled at 30� to the hori-

zontal. It thereafter returned to the supply tanks. The

angled plates provided a surface area of 6 m2. They were



Fig. 4. Discharge fittings.
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used to aid the removal of small bubbles entrained in the

liquid-phase.

The air stream flowed from an air receiver that was

charged to a pressure of 7.5 bar by a dedicated com-

pressor. Filtered air from the receiver was passed to one

of the three magnetically coupled rotameters. The

pressure and temperature of the air entering the ro-
tameters were measured on a Bourdon gauge and a

thermocouple respectively. Air from the rotameters

passed through the air–liquid mixer and into the settling

length, before discharging onto the load cell target. It

thereafter entered the air–liquid separator and was dis-

charged to the atmosphere.

Two-phase operation was achieved by operating the

liquid test loop and the air loop simultaneously. The
liquid flow rate was established prior to the air flow-rate.

The air and liquid flows were brought together via an

annulus section 15 mm long, with the air occupying the

inner pipe, 22 mm in diameter, and the liquid occupying

the space between the outside of the air pipe and the test

pipe. A two-phase flow therefore existed from the air–

liquid mixer to the air–liquid separator. Additionally,

when viscous liquids were used, a fan took the air from
the separator exit and passed it, via a pipe, to a dis-

charge point outside of the building. This proved a

necessary additional step because very fine liquid drop-

lets were entrained in the discharging air stream.

The high viscosity two-phase tests were particularly

difficult to complete. The discharging two-phase mixture
entrained very small gas bubbles in the glycerine–water

solutions. Thus, over a period of time, the liquid in the

supply tanks became laden with air bubbles. After about

30 min the bubbles could be viewed near the base of the
glass heat exchanger. Testing ceased when this was ob-

served, giving this as the maximum time to set the re-

quired conditions and obtain all the readings for a

particular test. The heat exchanger was connected to the

pump by 2.2 m of vertical pipe, 100 mm in diameter.

Air-laden liquid was therefore never unintentionally

injected. The small gas bubbles took about 10 h to dis-

engage from the liquid. Immersion heaters were added
to the supply tanks so that the fluid viscosity could be

reduced between tests, thus allowing the air bubbles to

disengage more quickly.

2.3. Test components

The details of the nozzle and orifice plate are given in

Fig. 4. The length of undisturbed pipe upstream of these
components was 6.9 m, giving a length to diameter ratio

of 265, sufficient to give a reasonably developed flow

upstream of the test component. Just inside the nozzle

discharge was a pressure tap connected to a Rosemount

2088 gauge pressure transmitter. This allowed the dis-

charge pressure to be measured so that choked flow

could be detected. This and the pressure tapping 122

mm from the nozzle discharge, or 25 mm from the ori-
fice plate, were connected to a purging/measuring system

by ball valves. Also attached to this system were pres-

sure tappings on either side of the c-ray densitometer.

These were 1.1 and 0.6 m upstream of the discharge

component. The purging system was constructed from

stainless steel tube 10 mm in diameter and was coupled

to a Rosemount 2088 gauge pressure transmitter and to

both the air and liquid supplies, allowing purging with
either. Each pressure tapping was purged and read in

sequence. The pressure difference across the nozzle was

obtained by subtracting the downstream from the up-

stream reading (Fig. 4).

2.4. Miscellaneous

The c-ray densitometer, the load cells and the pres-
sure transmitters were read by a PC based, data acqui-

sition system. The temperatures, the Bourdon gauge and

the air rotameter readings were entered into the PC

manually. 100 pressure readings and 50 load cell read-

ings were collected and averaged for each measurement.

These numbers were chosen after a study of the signals

produced from a range of conditions showed them to be

sufficient to determine the averages. The liquid flow
nozzles were accurate to ±1% and the air rotameters to

±1.6% of reading. The pressure transmitters were of the

SMART type. The operating span was set prior to a test

by a HART communicator. The pressure transmitters
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were accurate to ±0.2% of reading. The thermocouples

were K-type and were connected to a Comark micro-

processor thermometer. This gave a discrimination of

±0.1 �C. The load cells were calibrated over their range
of 0–4 kg by placing known weights upon them. This

was repeatable to ±0.2% of reading. When the jet force

exceeded the load cell range, additional know weights

were placed on the target. The diameter of the supply

pipe was 26 mm.

2.5. Test conditions

Two types of test were carried out on the nozzle and

orifice plate, subsonic and sonic. The mass flow rates

for the subsonic nozzle tests were chosen to give exit

Mach numbers of about 0.5 at nominal qualities of

0.04, 0.06, 0.08, 0.1, 0.2, 0.4, 0.6 and 0.8. The Mach

number estimate was based on the slip with entrained

liquid fraction model of McNeil (1999), with the slip

ratio and entrained liquid fraction based on the 550
mPa s fluid (Table 2). The quality was taken as the

ratio of the gas mass flow rate to the total mass flow

rate. Upstream mass fluxes ranging from 660 kg/m2 s at

the lowest quality to 75 kg/m2 s at the highest quality

were used. The mass flow rates for the sonic tests were

arrived at by increasing the liquid and gas flows

incrementally until an exit pressure above atmospheric

was achieved. This was done at the same nominal
qualities as the subsonic tests and gave a mass flux

range of 930–150 kg/m2 s. The nozzle was tested using

mixtures with nominal liquid viscosities of 1, 100, 250

and 550 mPa s.

The mass fluxes used for the nozzle flows were also

used for the viscous orifice plate flows. However, cal-

culations based on the �subsonic’ air–water, orifice plate
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data indicated that choking had probably already oc-

curred. These were therefore re-designated as the

choked-flow tests. Lower mass fluxes were used to ob-

tain actual subsonic data. The choked air–water flows
therefore has a mass flux range of 90–620 kg/m2 s while

the subsonic data were obtained in the range 40–300 kg/

m2 s. The orifice plate was tested with mixtures con-

taining liquids with nominal viscosities of 1 and 450

mPa s.
3. Flow pattern

Direct flow pattern observations were not made. The

experimental conditions at the test component inlets are

shown on the vertical flow map of Hewit and Roberts

(1969) in Fig. 5. All of the data are shown to be in the

annular flow regime. However, caution must be exer-

cised in this assertion as Furukawa and Fukano (2001)

have shown that viscosity has an effect on the flow map
boundaries. The extent of the boundary shift at these

viscosities is not currently quantifiable.
4. The annular flow model

Several separated flow models have been developed,

e.g., Martindale and Smith (1982) and Richter (1983). A
similar, but simpler, approach assumes that liquid with a

specific volume mL travels close to the wall in a liquid

film of thickness d. The gas moving in the centre of the

tube has a specific volume mG and a velocity uc that is

faster than the film velocity, uLF. A fraction of the li-

quid, e, is entrained in the gas to form the core flow. This

liquid is assumed to travel at the gas velocity. The gas
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Table 1

Entrained liquid fraction correlation coefficients

Viscosity (mPa s) G (–) H (–)

100 0.0546 0.141

250 0.0245 0.188

450 0.0292 0.127

550 0.0292 0.127
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mass fraction of the total mass flow rate is x, often re-

ferred to as the quality.

If the entrained liquid fraction is assumed constant,

the momentum equation for the core flow is

dp
dz

¼ � 4si
ðD� 2dÞ �

g
mc
� uc

mc

duc
dz

ð1Þ

where p is the pressure, z is the distance from the nozzle

or orifice plate inlet, D is the pipe diameter, g is the

acceleration due to gravity, si is the shear stress at the

core liquid film interface and mc is the specific volume of

the core flow, given by

mc ¼
ðxmG þ eð1� xÞmLÞ
ðxþ eð1� xÞÞ ð2Þ

If the core flow is adiabatic and the temperature of
the entrained liquid fraction is assumed constant, the

corresponding energy equation is

mc
dp
dz

þ x
ðxþ eð1� xÞÞ p

dmG
dz

�
þ cv

dTG
dz

�

þ uc
duc
dz

þ g þ dw
dz

¼ 0 ð3Þ

where cv is the specific heat at constant volume of the

gas-phase, TG is the gas temperature and dw=dz is the

work done on the liquid film by the core flow, approx-

imated by

dw
dz

¼ 4simc
ðD� 2dÞ

uLF
uc

ð4Þ

Mass continuity of the core flow requires that

d

dz
p
4
D2 acuc

mc

� �
¼ 0 ð5Þ

The gas-phase is treated as a perfect gas of gas constant

R, giving

mG
dp
dz

þ p
dmG
dz

¼ R
dTG
dz

ð6Þ

For parallel flows, the flow diameter is constant. For

conical nozzle flows, the flow diameter can be expressed

as

D ¼ Du þ ðDd � DuÞ
z
L

ð7Þ

where L is the length of the contraction and Du and Dd

are the upstream and downstream diameters, respec-

tively.

The liquid film flow was modelled using an interfacial

friction factor approach where the wall and interfacial
shear stresses are assumed equal. For air–water flows

the method of Ambrosini et al. (1991) was used. For the

viscous fluids the method of McNeil and Stuart (2003)

was used. The film flow method is reproduced in

Appendix A.

With the liquid film flow treated as described, Eqs.

(1)–(7) allow the conditions at any downstream position
to be determined, once the entrained liquid fraction has

been specified.
5. Conditions entering the test components

The flow entering the nozzle or orifice plate would

have been approximately fully developed (Section 2.3).

The upstream pressure was measured directly, Section

2.3. The upstream temperature was assumed the same

as that measured downstream of valve C (Fig. 3). For

analysis purposes, the other flow quantities were esti-
mated by implementing the film model described in

Appendix A. This approach requires the entrained

liquid fractions to be specified at the contraction inlet.

These were estimated from the correlation (Govan et al.,

1998) for fully developed air–water flows, and from the

extrapolating equation given by McNeil and Stuart

(2003) for viscous flows. The extrapolating equations

were obtained for similar viscous fluids at similar con-
ditions and took the formffiffiffiffiffiffiffiffiffiffiffi

e
1� e

r
¼ H expðGuGsÞ ð8Þ

where uGs is the superficial gas velocity, the gas velocity

achieved when the gas flow occupies all of the pipe, and

G and H are the constants listed in Table 1. As the fluid

viscosity had altered slightly between the tests reported
in McNeil and Stuart (2003) and those reported here,

the constants used are for the closest available data.

The ranges of inlet conditions for the nozzle and the

orifice plate are listed in Table 2 for subsonic flows and

in Table 3 for sonic flows. The film model parameters

allow the core area fraction, ac, the fraction of the pipe

area occupied by the gas and droplet flow, to be ob-

tained from

ac ¼ 1

�
� 2d

D

�2

ð9Þ

with the slip ratio, k, the ratio of the average gas velocity

to the average liquid velocity, following from

k ¼ e
ac

þ ð1� acÞ
ac

x
ð1� xÞ

mG
mL

ð10Þ

Eq. (10) results from the assumption that the gas and

entrained liquid travel at the same velocity. The ranges

of inlet slip ratios are included in Tables 2 and 3. Tables



Table 3

Sonic flow inlet conditions

Fluid viscosity

(mPa s)

Discharge

component (–)

Entrained

liquid (–)

Film thickness

(mm)

Gas velocity

(m/s)

Liquid film

velocity (m/s)

Shear stress

(N/m2)

Slip ratio

(–)

1 Nozzle 0.34–0.64 0.08–0.9 18–45 1.5–4.6 28–74 3–19

1 Orifice 0.10–0.53 0.10–1.0 17–39 1.0–3.3 13–42 4.3–35

100 Nozzle 0.13–0.59 0.28–2.0 25–41 0.49–2.1 100–160 10–35

250 Nozzle 0.07–0.22 0.36–2.4 24–45 0.42–2.0 170–230 11–83

450 Orifice 0.04–0.14 0.42–2.5 22–43 0.35-1.9 190–370 11–100

550 Nozzle 0.04–0.14 0.47–2.7 24–43 0.30-1.8 200–390 13–124

Table 2

Subsonic flow inlet conditions

Fluid viscosity

(mPa s)

Discharge

component (–)

Entrained

liquid (–)

Film thickness

(mm)

Gas velocity

(m/s)

Liquid film

velocity (m/s)

Shear stress

(N/m2)

Slip ratio

(–)

1 Nozzle 0.00–0.55 0.10–1.0 17–41 0.78–3.3 11–42 4.2–53

1 Orifice 0.00–0.12 0.14–1.2 11–24 0.37–1.8 3.5–15 7–64

100 Nozzle 0.10–0.58 0.22–1.7 21–40 0.34–1.7 72–130 11–50

250 Nozzle 0.07–0.21 0.33–2.1 20–44 0.39–1.5 150–260 12–88

450 Orifice 0.04–0.11 0.36–2.2 22–39 0.25–1.5 150–310 14–130

550 Nozzle 0.03–0.12 0.41–2.4 20–38 0.22–1.5 160–330 13–150
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2 and 3 reveal that increasing the liquid viscosity pro-

duces large increases in wall shear stress and slip

ratio and significant reductions in entrained liquid

fraction.
6. Void fraction measurements

The void fraction was calculated from

a ¼ xmG
ðxmG þ kð1� xÞmLÞ

ð11Þ
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The gas specific volume and the slip ratio were obtained

at the c-ray densitometer by applying the film model

similarly to that described in Section 5, with the pressure

obtained by assuming a linear variation between the
pressure tappings straddling the densitometer (Section

2.3). The predicted and measured void fractions are

compared in Fig. 6. The agreement is shown to be rea-

sonable.

The increased viscosity distorts the flow map shown

in Fig. 5 (Furukawa and Fukano, 2001). This is not

thought to be particularly limiting to the comparisons as

Holt et al. (1999) reported that the annular flow model
.5 0.6 0.7 0.8 0.9 1
 void fraction (-)

tion with measured void fraction.
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works reasonably well in the annular and churn flow

regimes.
7. Critical flow data

Critical flow data were obtained for the nozzle and

probably the orifice plate. The nozzle data were choked

because the exit pressure was 10–68 kN/m2 above

atmospheric. The orifice plate data are choked by ref-

erence to the nozzle data and the various models em-

ployed in the analysis. Several methods of determining
the critical flow conditions are available. However, only

3 were used, the homogeneous flow method, a slip

method and the annular flow model described in Section

4. The homogeneous flow model was selected because it

is widely used. The slip method reported by McNeil

(1999) was selected because it allows the supply pipe exit

conditions to become the nozzle and the orifice plate

inlet conditions. The values used are listed in Table 3.
The homogeneous flow model has the liquid and gas-

phases travelling at the same velocity. It was imple-

mented by including the pressure gradient due to

acceleration. The frictional and gravitational pressure

gradients were neglected. The liquid temperature was

assumed constant and the gas was treated as perfect.

This allowed the gas-phase to flow isentropically.

The slip model is constructed using the same basic
flow model as that described in Section 4, i.e., it is a slip

with entrained liquid model. However, like the homo-

geneous model, only the effects of acceleration are in-

cluded. Bulk flow equations are written for momentum

and energy. The liquid is assumed to flow isothermally

and the gas isentropically.

Gravitational pressure drops are not important in

nozzle flows. A comparison between homogeneous flow
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and slip flow therefore gives the effects of some of the

liquid travelling at a different velocity to the gas. A

comparison between the slip and annular flow models

shows the effect of including wall friction.
The homogeneous and slip models depend on area

reduction only. They were therefore integrated from the

supply pipe area to the minimum flow area. The annular

flow model was implemented differently for the nozzle

and orifice plate, although, in both cases, the equations

were integrating subject to the choking condition,

dz=dp ¼ 0, at the flow exit.

7.1. Critical nozzle flow data

For the nozzle, critical flow data were obtained when

air flowed with water, the 100, 250 and 550 mPa s liq-

uids. A comparison between the measured critical mass

fluxes and the critical homogeneous flow mass fluxes,

both based on the upstream flow area, is shown in Fig.

7. At the lower mass fluxes, fluxes less than 250 kg/m2 s,
which corresponds to qualities greater than 40%, the

agreement is good. However, at the higher mass fluxes,

agreement is poor, achieving only 70% of the measured

value at the lowest quality, which corresponds to the

highest mass flux.

A comparison between the measured critical mass

fluxes and the critical slip flow mass fluxes is shown in

Fig. 8. For flows involving water and the liquid with a
viscosity of 100 mPa s, the model predicts the critical

mass fluxes reasonably well across the full quality range.

However, as the viscosity increases further, the agree-

ment becomes poor.

The annular flow model described in Section 4 is flow

path dependent. The equations were therefore integrated

in three parts (Fig. 4). Part 1, from the upstream pres-

sure measurement point to the beginning of the
0 800 1000 1200

s flux (kg/m2s)

with measured critical mass flux.
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contraction, and part 3, from the end of the contraction
to the discharge point, were treated as constant area

flows. Part 2, from the start to the end of the contrac-

tion, was treated as a conical flow. A comparison be-

tween the measured critical mass fluxes and the critical

annular flow mass fluxes is shown in Fig. 9. This model

is shown to predict all of the data reasonably well.

The homogeneous model is an isentropic flow model.

Fig. 7 indicates that at high qualities all flows can be
treated as homogeneous, even though they most defi-

nitely are not (Tables 2 and 3). The slip flow model is

also an isentropic flow model. A comparison between

Figs. 7 and 8 shows that, for the same upstream con-

ditions, denoted by the same measured mass flux, the

mass flow rate predicted by the slip model is significantly
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larger than that predicted by the homogeneous flow
model, and that the difference increases with increasing

liquid viscosity. Increasing the viscosity increases the

slip ratio and decreases the entrained liquid fraction,

Table 3. This causes the increase in the predictions.

However, the very large mass fluxes predicted to occur

at the higher viscosities are not realised. Only the

annular flow model predicts the measured critical mass

fluxes for the 250 and 550 mPa s fluids. This model in-
cludes the low entrained liquid fractions and large slip

ratios used in the slip model. The major difference be-

tween the slip model and the annular flow model is the

inclusion of the wall and interfacial shear stresses. These

are significantly larger for the two most viscous fluids

(Table 3). The large mass fluxes predicted by the slip
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al mass flux (kg/m2s)

th measured critical mass flux.
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model are not achieved because of the effects of wall

friction. A comparison between Figs. 8 and 9 indicates

that the slip flow approach is valid provided the com-

ponent of pressure drop due to wall friction is negligible

in comparison to that due to acceleration. In this case,

this occurs when the liquid viscosity is less than 100

mPa s. Fig. 9 shows that highly viscous fluids, involving
liquids with viscosities above 250 mPa s, requires the full

equations to be solved.

A substantial number of data have mass fluxes that

are substantially different from those predicted by the

slip and homogeneous models. Comparing the corre-

sponding predicted and measured pressure drops would

therefore have little meaning. Hence, predicted and

measured critical pressure drops are compared to the
annular flow model only. This is done in Fig. 10. The

comparison shows reasonable agreement, although a

systematic error is evident across the quality range. The

error appears to be independent of the liquid viscosity.

7.2. Critical orifice plate flow data

For the orifice plate, critical flow data were obtained
when air flowed with water and the 450 mPa s liquid.

Single-phase, orifice plate flows have a flow area that is

considerably smaller than the orifice plate area. In two-

phase flows this contraction only occurs at very low and

very high qualities (Shannak et al., 1999). For the range

of qualities obtained here, the minimum flow area can be

taken as the orifice plate area. A comparison between

the measured critical mass fluxes and the critical
homogeneous flow mass fluxes is shown in Fig. 7. The

pattern obtained for the nozzle is repeated. A compar-

ison between the measured critical mass fluxes and the

critical slip flow mass fluxes is shown in Fig. 8. Again the
pattern obtained for the nozzle is repeated. The annular

flow model flow path was treated as a conical flow from

the pressure measurement point to the orifice plate

aperture (Fig. 4). A comparison between the measured

critical mass fluxes and the critical annular flow mass

fluxes is shown in Fig. 9. Again this model is shown to

predict all of the data reasonably well. The conclusions
for the orifice plate are therefore the same as those for

the nozzle. Critical pressure drop comparisons for the

orifice plate cannot be made because the downstream

pressure was not measured (Fig. 4).
8. Pressure drop measurements

Pressure drop measurements were made with sub-

sonic discharges for the nozzle and orifice plate. During

the nozzle tests, the downstream pressure tapping (Fig.

4), never gave a reading measurably above atmospheric.

The upstream gauge pressure for the orifice plate is the

pressure drop. The homogeneous flow model predicted

most of the subsonic nozzle and orifice plate data to be

choked, and was therefore excluded from the compari-
sons.

8.1. Nozzle data

The slip model pressure drops for the nozzle are

compared with the measured subsonic values in Fig. 11.

Also included in the figure are the sonic data that the

model considered not to be choked, Fig. 8. Only the
subsonic air–water data compare well with the slip

model. All other data are substantially under-predicted.

The annular flow model is compared to the subsonic

values in Fig. 12. The comparison is reasonable. This
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time, however, a systematic error across the quality

range is not evident.

8.2. Orifice plate data

For the orifice plate, a comparison between the

annular flow pressure drops and the subsonic measure-

ments is included in Fig. 12. Again the comparison is
reasonable.
9. Jet force measurements

For the assumptions made in Section 4, the force

exerted by the jet discharging from the test components

onto the target can be determined from
F ¼ Cm

p
4
D2m2m ð12Þ

where m is the mass flux, the total mass flow rate per

unit flow area, m is the specific volume of the two-phase

mixture, given by

m ¼ ðxmG þ kð1� xÞmLÞ
ðxþ kð1� xÞÞ ð13Þ

and cm is the momentum correction factor that corrects

for the assumed velocity distribution of the phases (see
e.g., McNeil, 1998), and is given by

Cm ¼ ðxþ kð1� xÞÞ x
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For a homogeneous flow, the momentum correction

factor and the slip ratio are unity.

Eqs. (12)–(14) need to be evaluated at the discharge
conditions. These were found by integrating the various

flow models from upstream to atmospheric pressure,

ignoring the predicted flow area. Jet force measurements

were only obtained for subsonic discharges, since sonic

discharges have a free expansion from the sonic pressure

to atmospheric pressure, making the measurement

method inapplicable.
9.1. Nozzle data

A comparison of the homogeneous and annular flow

jet forces with the measured values for the nozzle is

shown in Fig. 13. The homogeneous jet forces are

shown to be significantly larger than the measured

values while the annular flow values compare reason-

ably well. This confirms the level of entrained liquid
fractions used in the comparisons, since increasing these

would move the annular flow predictions upwards, to-

wards the homogeneous values. The slip flow values are

not shown since they were similar to the annular flow

values, as would be expected for the same entrained

liquid fractions.

9.2. Orifice plate data

Jet force measurements were not made during the

orifice plate, air–water tests. The variations of the homo-

geneous and annular flow jet forces with the measured

ones obtained with the 450 mPa s fluid are included in

Fig. 13. The nozzle pattern is repeated, again confirming

the assertions about the entrained liquid fraction but also

justifying the assumption of a contraction coefficient of
unity. A contracted flow would produce a significantly

larger jet force.
10. Discussion and conclusions

Sub-critical and critical two-phase up flow data have

been obtained for a nozzle and an orifice plate over a

range of liquid-phase viscosities. The air–water data are

consistent with current thinking since the homogeneous

model can be used for high quality flows, greater than
40%, while a slip model is required for low quality flows.

At first glance this could also be said for the 100 mPa s

data, as the slip critical mass flux compares reasonably

well with the measured values (Fig. 7). However, sig-

nificant discrepancies exist in the pressure drop com-

parisons (Fig. 11). The homogeneous and slip models

show a growing discrepancy with the critical mass flux

and pressure drop data as the liquid viscosity increases.
Figs. 7, 8 and 11 show that these models are inadequate

when the liquid viscosity becomes large. At elevated

viscosities, only the annular flow model compares well.

This model compares well with the void fractions mea-

sured in the upstream pipe (Fig. 6), with the jet forces

measured at the nozzle and orifice plate discharges (Fig.

13), with the subsonic pressure drops (Fig. 12), with the

critical mass fluxes, Fig. 9 and with the critical pressure
drops, Fig. 10. However, a systematic error is evident in

the latter, indication that some model deficiency exists.

This error is independent of viscosity and therefore not a

result of it. The discrepancy cannot be explained by

independently altering the interfacial friction factor or

the entrained liquid fraction, but it can be explained by

altering both simultaneously. The annular flow model

is successful because the usual fundamental assump-
tions about the flow are invalid at these higher liquid
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viscosities. The entrained liquid fraction is much lower

and the wall shear stress is much higher (Tables 2 and 3).

The success of the annular flow model may not be too

surprising for the conical nozzle, where the flow path is
controlled by the nozzle geometry. However, it is sur-

prising that the same approach is sufficient for the orifice

plate, since this flow is not so conveniently controlled by

its geometry. Never the less, the patterns obtained for

the orifice are the same as those obtained for the nozzle

for critical mass flux (Fig. 9), pressure drop, Fig. 12 and

discharge momentum, Fig. 13. The latter giving a strong

indication that the contraction coefficient for the orifice
plate should be taken as unity.

The conclusion from this study is that a substantial

increase in liquid viscosity has a significant effect on

nozzle and orifice plate flows. This is in contrast to the

findings of Wood and Dickson (1973) and Morris

(1990). Morris analysed the Wood and Dickson (1973)

data by comparing the measured critical mass flux with

the predictions of a critical flow model by McNeil and
Morris (1988). This model is compared with the nozzle

data from this study in Fig. 14. The agreement is very

good. This model is essentially an isentropic model that

contains slip ratios and entrained liquid fractions typical

of low viscosity fluids, but atypical of those present in

these data (Table 3). The critical mass fluxes predicted

by this model are therefore in reasonable agreement with

the high viscosity data because of compensating errors.
The decrease in the acceleration pressure drop, brought

about by the reduced entrained liquid fraction, is com-

pensated for by the increased frictional pressure drops

produced by the increased shear stress. Wood and

Dickson (1973) only had overall measurements of

pressure drop to work with, and were therefore misled

into believing that shear stress was unimportant in these
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flows. Morris (1990) reported that data obtained with

lower diameter ratios by Wood and Dickson (1973)

behaved differently to those obtained at higher diameter

ratios. This is consistent with the conclusions of this
study. The smaller flow area in the orifice plate would

have reduced the critical mass flow rates. The resulting

low gas velocities would have produced very low en-

trained liquid fractions upstream of the orifice plate.

Under these circumstances, the decease in acceleration

pressure drop, caused by the reduced entrained liquid

fraction, could have exceeded the increase in frictional

pressure drop resulting from the increased shear stress.
This could have caused the data to require the larger

discharge coefficients reported by Morris (1990).

The study was undertaken to aid the design of vent

systems for highly viscous two-phase flows. What is

clear is that viscosity has a very definite effect. What is

not so clear is what should be done.

The first question to pose is does the experiments re-

ported here allow the processes in a safety relief valve or
bursting disc to be reproduced? The pressure drop be-

tween the reactor and the valve is limited by the various

national standards. This means that most valves are lo-

cated close to the reactor. The flow path into the valve

therefore depends on how the fluid exits the vessel. This

is an unknown at this time, but the flow may not be

annular. If the valve is located some distance from the

reactor, an annular flow may result, irrespective of how
the fluid exits the reactor. However, as was observed at

the fluid discharge and described in Section 2.2, agitation

of the two-phase mixture causes small gas bubbles to be

entrained in the liquid-phase. The effect that these may

have on the fluid flow is unknown. Further work is

therefore required on how fluid exits the vessel, on flow

parameters for other flow patterns and on the effect of
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entrained gas bubbles on pipe friction and the entraining

processes. This latter issue is compounded by the fact

that the annular flow model requires an entrained liquid

fraction to be calculated, something that currently can-
not be done for a highly viscous liquid (McNeil and

Stuart, 2003).

If the results obtained are representative of flow in

safety valves and rupture discs, the consequences for a

blowdown system need to be clarified. The annular flow

model was used to simulate flows for the same range of

liquid viscosities and qualities. However, the upstream

pressure and temperature were kept constant to simulate
the flow rates that would be obtained from a reactor. The

critical mass fluxes passed by the nozzle and the orifice

plate were up to 25% larger at the largest liquid viscosity.

This seemed like a surprising result, since increasing the

viscosity increases the wall shear stress (Table 3), which

should lead to a reduction in mass flow. However, the

flow capacity of a two-phase contraction increases as the

slip ratio increases and the entrained liquid fraction de-
creases. These also occur as the viscosity increases (Table

3). What these simulations showed was that the flow

capacity increase associated with the increase in slip ratio

and the decrease in the entrained liquid, exceeded the

flow capacity reduction associated with the increase in

shear stress. This may not be the case at higher liquid

viscosities. Some groups, like DIERS, the Design Insti-

tute for Emergency Relief Systems, currently recommend
that vent sizes should be obtained by applying homo-

geneous equilibrium theory. This will produce an even

more conservative estimate of the flow rate than the

annular flow model used in the simulations. If vents were

designed by this method for the fluids tested in this study,

the venting systems would be over sized and therefore

more expensive than they need be. Also, the processing

equipment downstream of the vent may be undersized.
Further study into the effects of a highly viscous liquid-

phase is therefore recommended.
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Appendix A. Film flow model

The thickness of the liquid film was evaluated using

the method of Ambrosini et al. (1991). This method

related a non-dimensional film thickness, dþL , to the film

Reynolds number, ReLF, through

dþL ¼ BRenLF ¼ d
lL

ffiffiffiffiffi
sC
mL

r
ðA:1Þ
where lL is the liquid viscosity. The liquid film Reynolds

number is given by

ReLF ¼ ð1� eÞð1� xÞmD
lL

ðA:2Þ

where m is the total mass flow rate per unit pipe area.

When the film Reynolds number is less than 1000, the

flow is laminar and the coefficient B and the index n are
0.34 and 0.6 respectively. When the film Reynolds num-

ber is greater than 1000, the flow is turbulent and the

coefficient B and the index n are 0.0512 and 0.875

respectively. The characteristic shear stress, sC, is given
by

sC ¼ ðsi þ 2swÞ
3

ðA:3Þ

where sw is the wall shear stress. The interfacial shear

stress, si, is obtained through an interfacial friction

factor, fi, defined through

si ¼
fi
2

u2c
mG

¼ fi
2

xm
a

� �2
mG ðA:4Þ

The interfacial friction factor depends on whether the

liquid-phase has a high or low viscosity. In this study

water has a low viscosity and all other liquids had high
viscosities. The equations are solved subject to the

assertion that the interfacial and wall shear stresses are

the same.

A.1. Interfacial friction factor for low viscosity systems

The interfacial friction factor for low viscosity sys-

tems was obtained from the Ambrosini et al. (1991)
method. This method relates the interfacial friction

factor to a non-dimensional gas film thickness, dþG, de-
fined through

dþG ¼ d
lG

ffiffiffiffiffi
si
mG

r
ðA:5Þ

where lG is the viscosity of the gas-phase. The interfacial
friction factor is then

fi ¼ fs 1

�
þ 13:8

We0:2

Re0:2G

dþG

�
� 200

ffiffiffiffiffi
mL
mG

r ��
ðA:6Þ

where We is the Weber number, defined through

We ¼ xm
a

� �2 DmG
r

ðA:7Þ

ReG is the gas Reynolds number, obtained from

ReG ¼ xmD
alG

ðA:8Þ

fs is the friction factor for a smooth tube, obtained from

fs ¼
0:046

Re0:2G

ðA:9Þ

and r is the liquid surface tension.
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A.2. Interfacial friction factor for high viscosity systems

The interfacial friction factors for high viscosity sys-

tems are obtained from a Froude number function, FF,
defined through

FF ¼ 1

Fr1:28
mG
mL

� �0:912

ðA:10Þ

where the Froude number is defined by

Fr ¼ ucffiffiffiffiffi
gd

p ðA:11Þ

These fluids are characterised by a smooth film-rough

film behaviour. The smooth film behaviour is described

by

fi ¼ 0:0983FF0:249 ðA:12Þ
and the rough film behaviour by

fi ¼ E � FF ðA:13Þ

where E is a constant obtained from

E ¼ 0:286þ 0:00153
lL

lW

ðA:14Þ

and lw is the viscosity of water at 20 �C.
The data on this rough line have a liquid Reynolds

number of less than 40. If the liquid Reynolds number,

found by assuming that the liquid flows alone in the

pipe, is less than 40, the rough coefficient is 1.12,

otherwise it comes from Eq. (A.14) provided it does not

exceed 1.12. The transition Froude number function

follows by equating Eqs. (A.12) and (A.13). The friction

factor is then found by assuming a smooth flow. If the
resultant Froude number function is less than the tran-

sition value, the smooth value is appropriate, otherwise

the friction factor must be re-calculated assuming a

rough film.
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